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A B S T R A C T

This paper reviews foundations for offshore wind energy convertors considering the significant growth of off-
shore wind energy since the early 2000s. The characteristics of various foundation types (i.e., gravity, pile,
suction caisson, and float type) and the current status of field application are discussed. Moreover, the me-
chanical characteristics of soil are described in the sense that these characteristics including modulus, strength,
damping, and modulus degradation of soil play critical roles for the design of offshore foundations. By using
these mechanical properties of soil, theoretical studies to consider structure-soil interaction are classified (into
equivalent spring models, distributed spring models, and continuous element models) and explained. Field and
laboratory experiments on the response of structure embedded in soil to static and dynamic loads are discussed.
Based on the review of previous studies, directions for future research and study on offshore wind turbine are
suggested.

1. Introduction

The development of renewable and sustainable energy sources not
only mitigates concerns regarding the volatility of oil prices and the
emission of carbon dioxide but also reduces the dependency of energy
on fossil fuels. Wind energy is one of the promising solutions for sus-
tainable energy because of its maturity and comparatively low cost [1].

In particular, offshore wind power can be a primary energy source
in the future considering the high-energy density, lower turbulence,
lower wind shear, and fewer civil complaints compared to onshore
wind power. Total cumulative capacity in the offshore wind energy
converters (OWECs) rose to 8759MW in 2014 (Fig. 1). Large-scale
offshore wind farms have been constructed in Europe, and their power
production accounts for more than 90% of power generated by all
OWECs. Total capacity has increased to 8.0 GW in 74 offshore wind
farms in 11 European countries in 2014. Approximately, 1.5 GW of
offshore wind was installed in 2014 [1]. Moreover, dozens of GW-ca-
pacity offshore wind farms are scheduled to be constructed over the
next decades [2–4].

The United Kingdom (UK) and Germany lead the development of
large-scale commercial offshore wind farms. China has become the
third largest annual market in 2014. The Chinese government also

announced a list of 44 future offshore projects with capacity of
10.53 GW [1]. Several pilot projects and commercial developments
have been concurrently conducted in Taiwan, Japan, and South Korea
[5,6]. Indeed, wind is a major source of power along with nuclear and
fossil fuel (coal) energies, and its share is increasing significantly
(Fig. 1).

Technological advances constantly improve the economic feasibility
of offshore wind farms. For example, Round I offshore farms in the UK
had an average monthly capacity factor of 33.6%, while Round 2 off-
shore farms increased their average monthly capacity factor to 38.3%
[7]. However, many challenges facing the growth of offshore wind
farms still remain. Specifically, the construction costs of offshore wind
farms are 1.5–2 times greater than that of onshore wind farms [8] be-
cause offshore wind farms require expensive foundations, installation,
and grid connections (e.g., underwater cabling and offshore trans-
former stations).

Especially, the cost for a foundation of an OWEC increases de-
pending upon water depth (Fig. 2). The cost of OWEC foundations is
about 20% of their total cost, and 45% of the wind turbine cost in
shallow water depth. The cost for foundations at the water depth of
40–50m is 1.9 times higher than the cost for the water depth of
10–20m. Therefore, selecting a suitable OWEC foundation type and
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optimally designing it are the most important factors to lower the cost.
Designing foundations for OWECs is more difficult than designing

offshore oil and gas platforms. Aerodynamic loads acting on OWECs are
significant because of their large blade span. Oil and gas offshore
platforms are designed to minimize aerodynamic loads. However, large
aerodynamic loads are unavoidable to OWECs because both rotational
and thrust forces are applied to their turbine blades. This large aero-
dynamic load causes significant moments on the foundation of OWECs
because the large loads act on the nacelles which are located at the top
of the long wind turbine towers. Therefore, the large aerodynamic loads
and their interaction with hydrodynamic loads need to be considered to
prevent fatigue and failure of the structure. Hydrodynamic loads acting
on OWECs and oil (or gas) platforms are also different. OWECs are
installed in shallow and transient waters, whereas oil platforms are
mainly installed in deep waters. The effect of sediment movement and
scour on offshore structures depends upon these conditions. These
differences suggest that optimization techniques, design methods, and
field experience obtained from oil and gas foundations cannot be di-
rectly applied to the design of OWECs and substructures. Thus, in-
tensive efforts in both theory and experiment are required.

This review of foundations of OWECs is aimed for a broad spectrum
of readers from academia, research, and industry. The text covers a
broad spectrum of topics from basic knowledge to the state-of-the-art
research including research perspectives, challenges, and future trends.
Section 2 describes basic concepts and future trends of various foun-
dations for commercial OWECs in operation, which might be useful for
researchers who wish to catch up quickly with the current state of
foundations for large-scale offshore wind farms. The pros, cons and
limits of each type of foundation are also explained for the same reason.
Section 3 presents the fundamental characteristics of soils. This section

includes the dynamic behavior of soils needed for the analysis of
structure-soil interaction and the degradation behavior of soils needed
for fatigue analysis. Also, we provide basic knowledge about the dy-
namic and static behaviors of soils over short- and long-term period,
which is essential to design OWECs and their foundation and to predict
the structural response of OWECs. Material properties of various soils
are also listed for readers who need these properties for their studies.
Note that understanding the nature of soils should be preceded to de-
sign foundations of OWECs because soils play critical roles for the be-
havior and response of OWECs. Section 4 discusses the principles,
current states, and future challenges of modeling methods for structure-
soil interaction. Research on modeling methods are categorized into
three different model types: equivalent spring models, distributed
springs models, and continuum element models. Various experiments
on the structure-soil interaction are also discussed because that inter-
action is highly nonlinear. There experimental observations provide
valuable information to develop new modeling methods and to suggest
parameters used in modeling. Moreover, modeling and experimental
efforts for suction caisson type of foundation are emphasized in a se-
parate section. This type of foundation is the most promising in the
future because it is accompanied with relatively small vibration, noise,
and suspended sediments during installation [10]. Nonetheless, this
type of foundation still faces challenges, which are also described in this
section. Lastly, Section 5 suggests future research trends and challenges
for the design of foundations of OWECs from several perspectives to
secure the safety and reliability of offshore wind farms.

2. Types of foundation

The sea depth is generally classified into three classes: shallow
waters (0–30m), transitional waters (30–50m), and deep waters
(50–200m) [11,13]. The sea depth is the most important factor for the
viability of offshore wind farms because the cost for foundations sig-
nificantly increases over the depth. Hence, several types of foundations
are already developed, and some types are under development con-
sidering the sea depth and other conditions (Fig. 3).

Fig. 4(a) shows the current types of foundations used in commercial
OWECs with respect to the sea depth and the distance from shore. This
figure, which contains reorganized data from Tables 1–3, provides in-
sights into trends for foundation types with respect to the sea depth and
the distance from shore (Table 4).

In shallow waters, gravity type (Fig. 3(a)) and monopile type
foundations (Fig. 3(b)) are mainly used. Initial offshore wind farms
adopted these two types because their reliability is ensured in shallow
waters. Especially, the monopile type is most frequently used because of
the sea depth at available farm locations and the capacity of installed
OWECs. The gravity type is not used for OWECs over 3MW (Fig. 4(b))
because it has to be very heavy and expensive to be constructed in
deeper seas, with depths over 10m, in order to resist high aero- and
hydro- dynamic loads for high capacity of wind turbine.

In transitional and deep waters, a monopile type and a multipod
type are mainly deployed. Note that values corresponding to multipod
include both tripod and jacket. This observation is also related to the
capacity of OWECs. As OWECs with higher capacity, over 5MW, have
been installed in deeper waters, over 30m, multipod type foundations
have been selected to lower costs.

Fig. 4 also shows the trend of foundations for OWECs over the sea
depth and the capacity: gravity – monopile – multipod. As the site is
deeper and is farther from shore, multipod is more widely used than
gravity and monopile foundations because of high economic feasibility.
Note that floating type foundations are not included in Fig. 4 because
most OWECs with floating type foundations are demo versions. The test
floating OWEC foundations target very deep sites (e.g., 100–200m) and
have high rated capacity (e.g., 5–6MW) [37,38,41]. The current status
of applications for different foundations are discussed in the following
sub-sections.

Fig. 1. Global offshore wind power capacity from 2000 to 2014; left bars show the net
annual addition each year, while right bars represent cumulative offshore wind capacity
every year; data used in this figure is from [1,3].

Fig. 2. Cost breakdown of offshore wind farm over water depth; data used in this figure is
from [9].
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2.1. Gravity

A gravity-type foundation, which consists of a large circular pile
with a concrete plate structure resting on the seabed, is historically the
first type of foundations deployed for OWECs (Fig. 3(a)). Gravity is the
main source to keep the structure upright. The detailed procedure for
construction is described in [12]. Initial offshore wind farms in Den-
mark were installed by using this type of foundation close to shore,
where the water depth is very shallow, as listed in Table 1. Moreover,
several demonstration projects such as the Avedøre Holme, Breitling,
Thornton Bank (Phase I) offshore wind farms used this type of foun-
dation because this mature construction and installation technology can
minimize risk.

2.2. Monopile

This type of foundations is mainly used for most OWECs, especially
in European offshore wind farms (Table 2) for the following reasons.
First, most European offshore wind farms have been constructed in
shallow waters with less than 30m depth. Second, the soil in the North
Sea mainly consists of sand and gravel, which requires relatively less
effort on drilling of piles. This technology is the most economical so-
lution so far considering seabed conditions in Europe. Ninety-one per-
cent of offshore wind farms, which were fully grid connected in 2014,
also adopted this foundation type [3]. More details for the monopile
foundation are provided in [13].

Several studies on monopile foundations suggested that this foun-
dation type can reduce material costs while maintaining performance
[23,24]. However, this technology requires heavy duty equipment like
jack-up barges for installation, which cause considerable vibration,
noise, and suspended sediment. Hence, fisheries and other environ-
mental issues should be considered for installing offshore wind farms
with this substructure.

2.3. Suction caisson

A suction caisson replicating an upside down bucket (Fig. 3(c)) is an
eco-friendly foundation because it does not need heavy equipment for
piling. This is beneficial to installation due to its low level of vibration,
noise, and suspended sediment. Moreover, this type of foundations is
economic because of the simple and fast installation procedure [13].
Specifically, a 3.0MW OWEC was installed with a prototype suction
caisson at Frederikshavn in 2002 for the first time, showing that the
suction caisson reduces the steel weight by half compared with a tra-
ditional monopile [25]. The Korea Electric Power Corporation Research
Institute (KEPCO RI) also constructed two offshore metrological masts
with different types of substructures. The first Herald of Meteorological
and Oceanographic Special research Unit (HeMOSU-1) adopted a jacket
piles substructure, whereas HeMOSU-2 addressed the tripod suction
caisson foundation [27,28] (Fig. 5). The cost analysis for HeMOSU-2
confirmed that the tripod suction caisson foundation requires half of the
construction cost compared to jacket piles for the same seabed geology

Fig. 3. Types of foundations for OWECs.

Fig. 4. Comparisons of installed foundations for OWECs; symbols in figure (a) represent wind farms constructed with each foundation type; bars in figure (b) represent the number of
OWECs with respect to the capacity of OWECs (Power Rating, PR).
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[28]. Remarkably, the penetration of HeMOSU-2 with the tripod suc-
tion caisson foundation was completed in 6 h, while HeMOSU-1 spent
two months for the installation. This suggests that suction caissons are
excellent solutions from construction and installation perspectives.
However, it is unclear whether suction caissons are suitable for OWECs
at sites with transitional water depth considering the significant aero-
dynamic and hydrodynamic loads exerted on OWECs. Therefore,

KEPCO RI is conducting a demonstration project entitled Seashore wind
tUrbine Construction & Commercialization Embedded Suction bucket
Support structure (SUCCESS) to establish the design criteria for a sub-
structure with suction caissons.

Table 1
Offshore wind farms constructed with gravity type foundations [14–22].

Wind farm Turbine Rating (MW) # of WTs Total capacity (MW) Depth (m) Distance to shore (km) Locationa

Avedøre Holme SWP-3.6-120 3.6 3 11 0–2 0.4 D
Middelgrunden Bonus B76 2.0 20 40 3–6 4.7 D
Nysted (Rødsand I) SWP-2.3-82 2.3 72 166 6–10 11 D
Rødsand II SWP-2.3-93 2.3 90 207 4–10 9 D
Sprogø Vestas V90 3.0 7 21 6–16 10.6 D
Tunø Knob Vestas V39 0.5 10 5 4–7 5.5 D
Vindeby Bonus 450 kW 0.45 11 5 2–4 1.8 D
Breitling Nordex N90 2.5 1 2.5 0.5 0.3 G
Karehamn Vestas V112 3.0 16 48 6–20 3.8 S
Lillgrund SWT-2.3-93 2.3 48 110 4–13 11.3 S
Thornton Bank (Phase I) Repower 5M 5.0 6 30 18–28 28 B

a B: Belgium, D: Denmark, G: Germany, S: Sweden.

Table 2
Offshore wind farms constructed with monopile type foundations [14–22].

Wind farm Turbine Rating (MW) # of WTs Total capacity (MW) Depth (m) Distance to shore (km) Locationa

Anholt SWP-3.6-120 3.6 111 400 15–19 15–23 D
Horns Rev I V80 2.0 80 160 6–14 18 D
Horns Rev II SWP-2.3-93 2.3 91 209 9–17 32 D
Samsø SWP-2.3-82 2.3 10 23 14–20 4 D
Amrumbank West SWP-3.6-120 3.6 80 288 20–25 44.8 G
DanTysk SWP-3.6-120 3.6 80 288 21–31 74.3 G
EnBW Baltic 1 SWP-2.3-93 2.3 21 48 16–19 17.1 G
Meerwind Süd/Ost SWT-3.6-120 3.6 80 288 22–26 54.4 G
Riffgat SWT-3.6-120 3.6 30 108 18–23 15–42 G
Egmond aan Zee V90 3.0 36 108 15–18 10 N
Eneco Luchterduinen V112 3.0 43 129 18–24 24 N
Irene Vorrink NTK600-43 0.6 28 17 2–3 1 N
Lely Nedwind-41 0.5 4 2 3–4 0 N
Princess Amalia V80 2.0 60 120 19–24 26 N
Bockstigen WinWorld 0.55 5 3 6 4 S
Utgrunden Enron 70 1.5 7 11 6–15 4.2 S
Yttre Stengrund NM 72 2.0 5 10 6–8 2 S
Belwind V90 3.0 55 165 12–20 44.7 B
Northwind V112 3.0 72 216 15–23 37 B
Kamisu – phase 1 Subaru 80 2.0 7 14 5 0.2 J
Kamisu – phase 2 HTW 2.0-80 2.0 8 16 5 0.1 J
Barrow Vestas V90 3.0 30 90 12–20 7.5 UK
Blyth Offshore Vestas V66 2.0 2 4 6–11 1 UK
Burbo Bank SWT-3.6-107 3.6 25 90 0–8 6.4 UK
Greater Gabbard SWP-3.6-107 3.6 140 504 20–32 36 UK
Gunfleet Sands 1 & 2 SWP-3.6-107 3.6 48 173 2–15 7 UK
Gunfleet Sands 3 (Demonstration) SWP-6.0-120 6.0 2 12 5–12 8 UK
Gwynt y Môr SWP-3.6-107 3.6 160 576 12–28 16 UK
Humber Gateway V112 3.0 73 219 10–18 10 UK
Kentish Flats V90 3.0 30 90 3–5 10 UK
Lincs SWP-3.6-120 3.6 75 270 10–15 8 UK
London Array SWP-3.6-120 3.6 175 630 0–25 20 UK
Lynn and Inner Dowsing SWP-3.6-107 3.6 54 194 6–11 5 UK
North Hoyle Vestas V80 2.0 30 60 5–12 7 UK
Rhyl Flats SWP-3.6-107 3.6 25 90 4–11 8 UK
Robin Rigg V90 3.0 60 180 0–12 11 UK
Scroby Sands Vestas V80 2.0 30 60 0–8 2.5 UK
Sheringham Shoal SWP-3.6-107 3.6 88 317 14–23 23 UK
Teesside SWT-2.3-93 2.3 27 62 7–15 1.5 UK
Thanet V90 3.0 100 300 14–23 12 UK
Walney SWP-3.6-107 3.6 102 367 19–30 14 UK
West of Duddon Sands SWP-3.6-120 3.6 108 389 17–24 15 UK
Westermost Rough SWP-6.0-154 6.0 35 210 12–22 10 UK

a B: Belgium, D: Denmark, G: Germany, J: Japan, N: Netherlands, S: Sweden, UK: United Kingdom.
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2.4. Multipod (tripod and jacket)

Different concepts of substructures are needed to lower construction
costs for transitional water depth. Space frame substructures such as
tripod and jacket structures can provide the required strength and
stiffness (Fig. 3(d) and (e)). Tripod and jacket structures provide suf-
ficient bearing capacity in transitional water depths with relative short
penetration length. Moreover, the relatively low weight of tripods and
jackets enhance the economic feasibility. The Alpha Ventus and Bea-
trice demonstration projects encourage the development of offshore
wind farms with this substructure in transitional water depth, as listed
in Table 3. More details for the multipod foundation are provided in
[13].

These concepts are also suitable for the Korean peninsula con-
sidering the water depth and meteorological characteristics. Most fea-
sible sites featuring high wind potential for large-scale development are
in water deeper than 20m [26]. Moreover, multipod can be more ef-
fective than monopod. If monopods are adopted, longer piles or larger
suction caissons are required for extreme events such as hurricanes and
typhoons. The design optimization of a structure is important for a
multipod type foundation because the design of this foundation type is
relatively complicated [29,30].

Table 3
Offshore wind farms constructed with tripod or jacket type foundations [14–22].

Wind farm Turbine Rating (MW) # of WTs Total capacity (MW) Depth (m) Distance to shore (km) Typea Locationb

Alpha Ventus Areva M5000 REpower 5M 5.0 12 60 28–30 56 T G
J

BARD Offshore 1 BARD 5.0 5.0 80 400 39–41 101 T G
Global Tech I Areva M116 5.0 80 400 38–41 110 T G
Hooksiel Bard 5.0 5.0 1 5 5 0.4 T G
Nordsee Ost Senvion 126 6.2 48 298 22–26 51.4 J G
Trianel Windpark Borkum (Phase 1) Areva M116 5.0 40 200 28–33 45–66 T G
Thornton Bank phase II & III Senvion 126 6.15 48 295 12–26 28.2 J B
Jeju Island (Demonstration) STX 72 2.0 2 5 15 2.8 J K

WinDS3000 3.0
Beatrice (Demonstration) Repower 5.0 2 10 45 23 J UK
Methil Samsung 7.0 1 7 5 0.05 J UK
Ormonde Repower 5.0 30 150 17–22 9.5 J UK

a J: Jacket, T: Tripod.
b B: Belgium, G: Germany, K: Korea, UK: United Kingdom.

Table 4
Soil classification in terms of grain size and corresponding properties [42].

Material Compactness Dr (%) N γd
(kN/
m3)

e ϕ (°)

GW Well-graded
gravel, grave-sand
mixture

Dense 75 90 22.1 0.22 40
Medium dense 50 55 20.8 0.28 36
Loose 25 < 28 19.7 0.36 32

GP Poorly grade
gravels, gravel
sand mixtures

Dense 75 70 20.4 0.33 38
Medium dense 50 50 19.2 0.39 35
Loose 25 < 20 18.3 0.47 32

SW Well-graded sands,
gravelly sands

Dense 75 65 18.9 0.43 37
Medium dense 50 35 17.9 0.49 34
Loose 25 < 15 17.0 0.57 30

SP Poorly graded
sands, gravelly
sand

Dense 75 50 17.6 0.52 36
Medium dense 50 30 16.7 0.60 33
Loose 25 < 10 15.9 0.65 29

SM Silty sands Dense 75 45 16.5 0.62 35
Medium dense 50 25 15.6 0.74 32
Loose 25 < 8 14.9 0.80 29

ML Inorganic silts, fine
sands

Dense 75 35 14.9 0.0 33
Medium dense 50 20 14.1 0.90 31
Loose 25 < 4 13.5 1.0 27

Fig. 5. Offshore meteorological masts with different types of substructures in the yellow sea of Korean Peninsula.
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2.5. Floating

Floating structures have many advantages in deep waters in cost,
construction, installation, and decommission. Moreover, technologies
developed for the oil and gas industry provide valuable information,
even though several differences exist because of different aero- and
hydro-dynamic load characteristics of OWECs. This type is classified
into three classes in terms of how the design achieves its stability:
ballast stabilized, mooring line stabilized (tension leg platform), and
buoyancy stabilized foundations [13,31,32]. Details for each design are
described in [31,33,40].

StatoilHydro, oil and gas company in Norway, has been developed
the ballast stabilized foundations [38]. Intensive numerical dynamic
analysis of integrated systems, model scale tests, and full scale tests
with a 2.3MW wind turbine are conducted in the Hywind project. This
project verified that ballast stabilized foundations are reliable [34–37].
StatoilHydro is preparing for the 30MW pilot project consisting of five
6MW floating turbines with the ballast stabilized foundation to show
the economic feasibility, safety, and reliability of this concept for
commercial development [38]. Oceanwind Technology (floating plat-
form developer) proposed an economical layout of offshore wind farms
with ballast stabilized foundations [39]. Floating units are arranged
with a certain geometrical pattern by using cables. The number of an-
chors to maintain the positions of OWECs is minimized in the project.

The National Renewable Energy Laboratory (NREL) mainly studied
the tension leg platform in cooperation with Massachusetts Institute of
Technology [40]. They have been focused on the design of a floating
structure with mooring lines [40]. Considering the relatively lower cost
of this floating structure for the installation, this type is the most pro-
mising foundation among floating platforms.

A stabilized barge is mainly used for the buoyancy stabilized
foundation. The stabilized barge is connected to the seabed by using
anchors. Stabilizing an excessive gyroscopic motion under extreme
wave conditions is the most significant challenge for this foundation.
NREL conducted several studies with this foundation [31,40], and
showed that vibrations along the yaw and the translational directions
can be reduced significantly by controlling the pitch angle of the blades.
In the first phase of the Fukushima floating offshore wind farm de-
monstration project, the semi-submersible platform with a 2MW wind
turbine was constructed [41]. In the second phase, 5MW and 7MW
wind turbines with advanced spars (ballast stabilized concept) and V-
shape semisub (buoyancy stabilized concept) will be installed at the
coast of Fukushima. This project is expected to provide valuable in-
formation regarding floating substructures of OWECs for future com-
mercial farms.

3. Important features of soil dynamics for offshore wind turbine
foundations

3.1. Soil properties and classifications

Soil properties including the shear modulus, Poisson's ratio, and
shear strength are important to study the response of offshore struc-
tures. Hunt [42] presents soil properties for various grain size and
compactness (Table 4). Dr, N, γd, ϕ, and e denote the average relative
density, an empirical cone factor, unit weight for zero water content,
internal friction angle, and void ratio (= the volume fraction between
voids and grains). Soils also can be classified into cohesionless soil and
cohesion soil (Table 5). γsub represents the unit weight when soil is
saturated with water, and Su denotes the undrained shear strength.

In general, soils have different properties over depth. Thus, several
properties of soils can be estimated over depth by performing in situ
tests such as the cone penetration test (CPT) and the standard pene-
tration test (SPT). The CPT can identify bearing resistance, friction re-
sistance, and pore water pressure. Soil samples collected through the
SPT can be used to estimate properties of soil such as soil classification

and Poisson's ratio. In the SUCCESS project, the CPT and the SPT were
carried out to characterize the soil properties over seabed depth at the
location of HeMOSU-2, and the values are provided in Table 6.

3.2. Shear modulus and Poisson's ratio

The shear modulus of soils varies upon the depth and the type of
loading (static or dynamic) and on the magnitude of the dynamic
loading. The effects of the dynamic loading on the soil modulus can be
classified into three different cases depending on the level of applied
shear strain [44–46] (Fig. 6(a)). The values of the two thresholds for the
shear strain (i.e., the linear cyclic threshold shear strain γtl and the
volumetric cyclic threshold shear strain γtv) over various types of soils
were well organized by Rodriguez et al. [46]. The dashed-arrow curve
in Fig. 6(a) shows the expected range of shear strain for an installed
foundation [45]. Because both hysteresis and degradation of modulus
play a critical role in this range, they should be considered for OWECs.

In the very small strain regime, the soil can be considered to be a
linear elastic material and does not exhibit hysteric damping. The shear
modulus is not affected by the cycling strains in this regime. The shear
modulus for this very small strains is referred to as the initial tangent

Table 5
Soil properties for cohesionless soils and cohesive soils [43].

• cohesionless soils
Soil type, compactness & consistency γd (kN/m3) γsub (kN/m3) ϕ (°)
Loose gravel with low sand content 16–19 6–9 28–30
Medium dense gravel with low sand

content
18–20 8–10 30–36

Dense to very dense gravel with low sand
content

19–21 9–11 36–46

Loose well-graded sandy gravel 18–20 8–10 28–30
Medium-dense well-graded sandy gravel 19–21 9–11 30–36
Dense well graded sandy gravel 20–22 10–12 36–45
Loose clayey sandy gravel 18–20 8–10 28–30
Medium-dense clayey sandy gravel 19–21 9–11 30–35
Dense to very dense clayey sandy gravel 21–22 11–12 35–40
Loose coarse to fine sand 17–20 7–10 28–30
Medium-dense coarse to fine sand 20–21 10–11 30–35
Dense to very dense coarse to fine sand 21–22 11–12 35–40
Loose fine and silty sand 15–17 5–7 28–30
Medium-dense fine and silty sand 17–19 7–9 30–35
Dens to very dense fine and silty sand 19–21 9–11 35–40

• cohesive and organic soils
Soil type, compactness & consistency γd (kN/m3) γsat (kN/m3) Su (kPa)
Soft plastic clay 16–19 6–9 20–40
Firm Plastic clay 17.5–20 7.5–10 40–75
Stiff plastic clay 18–21 8–11 75–150
Soft slightly plastic clay 17–20 7–10 20–40
Firm slightly plastic clay 18–21 8–11 40–750
Stiff slightly plastic clay 21–22 11–12 75–150
Stiff to very stiff clay 20–23 10–13 150–300
Organic clay 14–17 4–7 –
Peat 10.5–14 0.5–4 –

Table 6
Soil properties over depth for the location of HeMOSU-2; averaged values for each layer
of soil are provided.

Depth (m) Soil type γd (kN/m3) Su (kPa) ϕ (°) ν

0.0–12.0 Lean clay 18 11 26 0.40
12.0–26.3 Silty sand 19 27 33 0.36
26.6–27.5 Poorly-graded sand 20 – 35 0.35
27.5–30.3 Lean clay 19 50 – 0.35
30.3–39.0 Poorly-graded sand 20 – 35 0.35
39.0–42.0 Lean clay 19 50 – 0.35
42.0–46.0 Weathered soil 19 30 30 0.33
46.0–49.5 Weathered rock 21 36 32 0.31
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modulus (Gmax) which can be obtained in the stress-strain curve, as
shown in Fig. 6(b). The initial tangent shear modulus can be calculated
by using a formula proposed by Hardin et al. [47,48],

=
+

′G
e

P σ625 OCR
0.3 0.7

( ) ,
k

a m
α

max 2 (1)

where OCR is the overconsolidation ratio; Pa is the atmospheric pres-
sure; and ′σ m is the mean effective stress which is equal to

′ + ′σ σ( 2 )/3v h . ′σ v is the vertical effective stress acting on the soil, and
′σ h is the horizontal effective stress. The value of exponent k depends on

the plasticity index (PI). The value of k is equal to 0, 0.18, 0.31, 0.41,
and 0.48, corresponding to the PI values of 0, 20, 40, 60, and 80, re-
spectively. When the PI is equal to or larger than 100, the value of 0.5
can be used for k. For the exponent α, the value of 0.5 is used in Eq. (1).
However, a chart of empirical equations for Gmax presented in [45]
shows that the value of α ranges between 0.4 and 0.6 depending on the
void ratio e.

In the small-medium strain regime, the shear modulus is not con-
stant over the magnitude of strain. The shear stress shows a nonlinear
dependence on the shear strain. Moreover, the pore pressure is not
accumulated over undrained cyclic loading or volume change for
drained conditions [49–57]. The secant shear modulus (i.e., G which is
described in Fig. 6(b)) decreases as the magnitude of shear strain in-
creases. Vucetic et al. [44] created shear strain-secant shear modulus
curves for various values of the PI based on previous experimental re-
sults (Fig. 7). The secant shear modulus and strain can be related by
using the hyperbolic model presented in Eq. (2) [51].

=
+

G
G γ γ

1
1 /

,
amax (2)

Where γa denotes the reference strain, which is the ratio between τmax

and Gmax. τmax denotes the ultimate shear resistance of the soil. The
values of parameter γa are 0.028, 0.064, 0.1291, 0.2582, 0.5316, and
0.8849 corresponding to PI = 0, 15, 30, 50, 100, and 200, respectively.
It is worthy to note that vertical (static) stress can also affect the
modulus. When a soil is compressed by large vertical static loads, the
change in the shear modulus over the strain is reduced in experiments
with sand [50,58,59]. In this small-medium strain regime, stress-strain
curve starts to generate hysteresis loops, which can be considered by
using the extended Masing rule [60]. However, the value of modulus is
not affected by the cyclic loads. The volumetric cyclic threshold strain
γtv is a representative metric to distinguish small-strain and medium-
strain regimes (where the modulus and hysteresis loop are the same
over cycles) from the large-strain regime (where the modulus changes
over cycle).

In the large shear strain regime, the nonlinearity in the shear
modulus is stronger than that in the small-medium strain regime.
Moreover, the shear modulus degrades over cycles for cyclic loads,
because of changes in the microstructure of the soil. The degradation of
shear modulus due to cyclic loads is presented in details in Section 3.5.

The shear modulus increases over the depth due to the compressive
loads caused by the weight of the soil. The effects of the depth on the
shear modulus can be estimated by using Eq. (1) which relates the
vertical and horizontal effective stress to the shear modulus. The ver-
tical effective stress ′σ v at a depth z can be calculated by integrating the
submerged unit weights from 0 to z, where the submerged unit weight
or effective unit weight denotes the unit weight of soil excluding the
unit weight of water between soil grains. If the submerged unit weight
is uniform over the soil, ′σ v is linearly proportional to z. The horizontal
effective stress ′σ h can be related to the vertical effective stress with the
lateral earth pressure coefficient K as ′ = ′σ Kσh v. Thus, the mean ef-
fective stress ′σ m linearly increases over the depth z. By substituting the
effects of the depth on the mean effective stress into Eq. (1) and by
assuming that the changes of OCR and void ratio e over the depth are
negligible, one can obtain the initial tangent shear modulus profile as

=G z Az( ) ,α
max (3)

where α is the exponent in Eq. (1). Its value is about 0.5. The value of
G (z)max over the depth was measured in various in situ experiments
[45,61–67]. Fig. 8 presents the measured initial tangent shear modulus
over the depth at several sites. The circles denote the measured initial

Fig. 6. Shear modulus of soil as a function of shear strain.

Fig. 7. Changes in the shear modulus over shear strain and PI.
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shear modulus, and curves represent the shear modulus profiles gen-
erated by using Eq. (3). Fig. 8(a) and (b) show the initial shear modulus
profiles of the New Jersey coast, AMCOR 6010 and 6009 [62,65]. The
initial shear modulus profile in Fig. 8(c) corresponds to the profile of
George's Bank [65], and Fig. 8(d) shows the profile of Bangkok clays
[45]. Because Eq. (3) provides acceptable modulus profile, as shown in
Fig. 8(a)–(c), it has been used in several studies [68–70]. However, it is
difficult to estimate the modulus with Eq. (3) near boundaries between
soil layers because different types of soils are mixed together in those
regions. For example, the discrepancy between measured data and
fitted profiles is shown around z=10m in Fig. 8(b) and around
z=12m in Fig. 8(d). Note that the initial shear modulus in Fig. 8(d)
changes significantly near z=12m where the soil type is changed. This
change can be considered by using different values of A and α, as
presented in the equation of Fig. 8(d). When the soil exhibits dramatic
changes in soil properties (e.g., OCR, void ratio, PI, etc.) over the depth,
it is necessary to use A of Eq. (3) as a function of OCR, void ratio e, and

PI, instead of using a constant value.
The shear modulus of soils over the depth can be estimated by

conducting in situ experiments such as the CPT and the SPT. Young's
modulus (E) of soils can be calculated using its correlation to the SPT N-
values, the cone tip bearing resistance qc, or the undrained shear
strength Su. Several useful empirical equations for E are provided in
Table 7. The shear modulus can be calculated by generating shear wave
in soil and by measuring its density ρ and velocity Vsof shear wave
traveling through soil [61]. Then, the value of shear modulus can be
obtained as

=G z ρV( ) .smax
2 (4)

The Poisson's ratio of the soil is required to predict the mechanical
response of soil for two or three dimensional finite element analysis.
The value of the Poisson's ratio varies over the soil type; ν is 0.3–0.4 for
sand, and 0.4–0.5 for clay [71,72]. The change in the Poisson's ratio
over strain and over the depth is not considerable. Yokota et al. [71]

Fig. 8. In situ soil types and initial shear modulus Gmax over the depth at several sites; New Jersey coast AMCOR 6010 (a) and 6009 (b), George's Bank (c), and Bangkok clays (d). This
figure is created with data provided in [45,62,65].
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showed that the changes of the Poisson's ratio in the range of shear
strain 0.01–1% are very small. Also, the Poisson's ratio change over the
depth is only 0.03 over 150m [72]. When the ground is composed of
various soil layers, the Poisson's ratio is not significantly affected by the
depth [73]. However, the water content of soil strongly affects the
Poisson's ratio. The Poisson's ratio of sand is about 0.4 for a large water
content (i.e., around 40%) [71]. However, if the water content changes
to only 20% due to the confining pressure, the Poisson's ratio of sand is
reduced to 0.25.

3.3. Shear strength

The shear strength of the soil plays a critical role in the feasible
design of offshore structures because dynamic loads on the structure
can cause plastic deformation of the soil in extreme load cases. The
shear strength is also considered as one of the dominant variables to
determine the degradation of the shear modulus.

Shear strength τf linearly depends on the effective normal stresses ′σ
as

= + ′τ c σ ϕtan .f (5)

where c is the cohesion. When Mohr's circle is under the yield line
expressed with Eq. (5), yield does not occur. In a three dimensional
space, Mohr-Coulomb yield surfaces can be calculated as

′ + ′ + − ′ − ′ =σ σ c ϕ σ σ( )sinϕ 2 cos ( ) 0,1 3 1 3 (6)

where ′σ 1 is the first principal stress, and ′σ 3 is the third principal stress.
Depending on the drain rate of the soil and the rate of the load, the

soil can be deformed either in undrained conditions or in drained
conditions. Because the effective stresses (which denote stresses acting
on the soil particles) are different for each condition, one should be
careful when determining the value of the effective stresses in Eqs. (5)
and (6). The undrained condition is defined as a situation when the
drain rate of the water is much slower than the rate of dynamic load.
Due to this relatively slow drain rate, the load is transferred to the pore
water pressure. Thus, the changes in the stress acting on the soil par-
ticles (i.e., effective stress) due to the dynamic load are small. As a
result, the dynamic load is not able to change the soil microstructure
significantly. Therefore, the effects of dynamic loads on the shear
strength are assumed negligible, suggesting that the effective stresses in
Eqs. (5) and (6) are stresses calculated by static loads only. The drained
shear strength is defined as the strength when the drain rate of the
water is much faster than the rate of dynamic load. As a result, the
dynamic load is transferred to the soil particles. Because this behavior
changes the soil microstructure, the shear strength increases over the
dynamic load. Hence, Eqs. (5) and (6) should be used with stress values
which consider static loads and dynamic loads.

To determine the proper condition (either undrained or drained)

when pullout loads act on a suction caisson, Deng and Carter proposed
a nondimensional parameter Tk [78] as

=T k
v D m γ

,k
s

F s v w (7)

where vF is the rate of displacement induced by loads; Ds is the diameter
of the suction caisson; mv is the coefficient of one dimensional volume
decrease; γw is the unit weight of pore water; ks is the permeability of
the soil. In case Tk is larger than 0.6, the soil can be considered as in the
drained condition. In caseTk is less than 0.002, the undrained condition
must be considered.

Several researchers have investigated the undrained shear strength
for various vertical effective stresses ( ′σ vc) caused by static loads, PI,
and OCR. In laboratory tests, the value of undrained shear strength is
linearly proportional to the vertical effective stress ( ′σ vc) [79]. The ratio
( ′S σ/u vc) of normally consolidated silts and clays is about 0.2 for small
PI (i.e., PI of less than 20%). The ratio increases over PI and becomes
0.25 when PI is larger than 80%. The effect of OCR on the undrained
shear strength was suggested by Ladd [80,81] as

′ = ′S σ S σ( / ) ( / ) OCRu vc u vcOC NC
0.8, where ′S σ( / )u vc OC is the ratio of over-

consolidated clay and ′S σ( / )u vc NC is the ratio of normally consolidated
clay. Thus, the undrained shear strength can be estimated by using Eq.
(8) as

= ′ × − +−S σ (8.33 10 (PI 20) 0.2)OCR .u vc
4 0.8 (8)

Due to the linear relation between Su and ′σ vc, in situ experiments
show that Su linearly increases over the depth. Results obtained by
Marchetti et al. [82] showed a shear strength profile of =S z1.5 (kPa)u   .
For in situ tests on soft clays [83], Su was measured as 1.125z.

When the undrained shear strength profile ( =S S z( )u u ) for a site is
provided, the shear strength in drained condition for that site can be
calculated using the following procedure: 1) Calculate the vertical stress
( ′ = ′σ σ z( )vc vc ) due to the weight of soil by integrating the unit weight
from 0 to z; 2) Estimate the value of c and ϕ in Eq. (5) by using S z( )u and

′σ z( )vc ; 3) Calculate the undrained shear strength by substituting c, ϕ,
and the effective stress induced by the total load (i.e., dynamic and
static loads) into Eq. (5).

3.4. Damping

The vibration energy of OWECs is dissipated by several damping
sources [84]: hysteresis in the dynamic response of the soil, friction
between the foundation and the soil, structural damping in the OWECs,
aerodynamic damping, and hydrodynamic damping. Thus, all damping
sources including soil damping are discussed in this section. The ranges
of damping ratios of each source are provided also. The overall
damping ratio for the first bending mode of OWECs is in the range of
2–3% [85–87].

Structural damping typically occurs when vibration energy is
transformed into heat due to internal friction in a material. Det Norske
Veritas (DNV) and Germanische Lloyd (GL) [84,88] calculated the
structural damping ratio of a wind turbine structure by measuring the
impulse response of the structure. The value is in the range of 1–1.5%,
which includes both structural damping in the material and energy
dissipation at joints. The aerodynamic damping of OWECs depends on
the operational conditions. When the turbine is producing power, the
aerodynamic damping ratio is between 0.08% and 0.5% [89–91]. This
damping ratio decreases over the wind speed due to a reduction in the
angle of incidence and the fast dynamics of the pitch control system
[91]. The damping ratio decreases to 0.08% at stand-still conditions.

Hydrodynamic damping is caused by viscous hydrodynamic drag
and wave radiation due to the vibration of the structure. The viscous
damping is very small because the motion of offshore wind turbine
structures is slow (low frequency). Damping ratio caused by wave ra-
diation is approximately 0.12% for the first natural bending frequency
of OWECs [92].

Table 7
Empirical equations used in the estimation of the modulus of elasticity (Es) [74–77].

Soil type SPT CPT

Sand (normally Consolidated) Es = 500 (N + 15) Es = (2–4) qc
Es= (15000–22000) loge N

Sand (saturated) Es = 250 (N + 15) –
Sand (over-consolidated) Es = 18000 + 750N Es = (6–30) qc
Gravelly sand and gravel Es = 1200 (N + 6) –

Es= 600 (N + 6) for N<15
Es= 600 (N + 6) for N>15

Clayey sand Es= 320 (N + 15) Es = (3–6) qc
Silty sand Es = 300 (N + 6) Es = (1–2) qc
Soft clay – Es = (3–8) qc
Clay (Plastic index> 30) Es = (100–500) Su –
Clay (Plastic index< 30) Es = (500–1500) Su –
Clay (OCR>2) Es = (1500–2000) Su –
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Soil damping is composed of hysteretic damping, friction damping,
and radiation damping. When the height of the structure is much larger
than its width, the effects of the radiation damping on the soil-structure
interaction are significantly smaller than the effects of other damping
[93]. Thus, studies on OWECs have been focused on hysteretic and
friction damping. Friction damping is caused by the sliding on the
surface where the foundation contacts the soil. Fakharian et al. [94]
suggested that different criteria need to be used depending on the
condition of drainage (i.e., either drained condition or undrained con-
dition) when determining if sliding will occur. In drained conditions,
they assumed that the structure starts to slide when the shear stress on
the contact surface is larger than + ′K σ0.3(c tanϕ)o v . In undrained con-
ditions, the sliding takes place when the shear stress on the contact
surface is larger than α Ss u, where the value of nondimensional para-
meter αs is between 0.22 and 0.28. When the shear strain of the soil is
larger than 10−3%, the hysteretic damping is considerable. This phe-
nomenon is related to the changes of secant modulus over strain. In this
range of shear strain, the shape of stress-strain curve is different for
loading and unloading, as noted in Section 3.2. As the shear strain in-
creases, the difference in the shape increases. Because the area of the
hysteretic loop affects the hysteretic damping ratio (ζhys) [95], the
damping ratio increases over the shear strain, as observed in several
experiments [44,52,96,97]. Rollins et al. [96] proposed a hyperbolic
curve to relate the damping ratio and shear strain as

= + + − −ζ γ0.8 18(1 0.15 ) .hys
0.9 0.75

(9)

The values of the various coefficients in Eq. (9) can change de-
pending on the vertical stress and the PI because of their influence on
the secant modulus, as mentioned in Section 3.2. Soil damping ratio
was estimated by using the dynamic response of offshore wind turbines
[85,86]. A soil damping ratio was calculated by subtracting the struc-
tural, aerodynamic and hydrodynamic damping from the overall
damping ratio. The value obtained was in the range of 0.44–0.8%.

3.5. Degradation due to cyclic loads

The lifetime of an offshore structure strongly depends on the de-
gradation of the soil shear modulus caused by cyclic loads. That is
because the decrease of the shear modulus can lower the bearing ca-
pacity of the structure to extreme loads. Moreover, the decrease in
shear modulus can shift the natural frequency of the structure close to
the frequency range of the loads. It is noteworthy that a small amount
of shift in the natural frequency can be critical for offshore structures.
For example, a favorable 1st fore-after tower bending mode of (soft-
stiff) offshore wind turbine is between the rotor speed frequency and
three times the rotor speed frequency. This value is comparable to the
frequency (i.e., about 0.2 s−1) where the power spectrum of wave
elevation is maximum [98]. Thus, the degradation of the soil shear
modulus can cause significant vibrations.

Intensive experiments on the response of soil samples to cyclic loads
have been performed by using strain- or stress- controlled cyclic loads.
In strain-controlled cyclic load tests, harmonic (or similar to harmonic)
cyclic strain with constant magnitude of the cyclic strain (γc) is applied
to the soil samples. Then, the degradation of the shear modulus is
calculated by measuring the magnitude of the shear stress (τcN). In
stress-controlled cyclic load tests, the magnitude of strain (γcN ) is ob-
served when harmonic (or similar to harmonic) cyclic stress of constant
amplitude (τc) is applied. The degradation index δ [55,99–101,107,112]
is defined as
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where N is the number of cycles; and GN is the secant modulus at cycle
N. The stress-controlled cyclic loads can cause faster degradation of the

shear modulus because they apply larger strain energy to the soil than
the strain-controlled cyclic loads. In strain-controlled experiments, the
magnitude of stress decreases as the shear modulus reduces. Thus, the
strain energy per cycle decreases over cycles. However, the magnitude
of the shear strain increases with the degradation of the shear modulus
when a constant magnitude of cyclic stress acts on the soil. As a result,
the strain energy per cycle increases over the cycle.

When strain-controlled cyclic loads act on the soil, the changes of
the degradation index δ over the cycle number can be estimated by
using the degradation parameter tD [55,99–101] as

= −Nδ .tD (11)

If the soil shear modulus degrades quickly over N, the value of tD is
large. The degradation parameter tD is a function of γc, OCR, ′σ vc, fc, and
PI, where fc is the frequency of the cyclic strain. Table 8 presents the
value of variables and corresponding tD reported in several experiments
[99–101]. It is observed that tD increases with γc, ′σ vc, and fc. Also, tD is
inversely proportional to OCR and PI. Values are sorted with γc, ′σ vc, and
fc in ascending order and sorted with OCR and PI in descending order so
that Table 8 can reveal the dependency of tD on variables more clearly.

In contrast to strain-controlled cyclic loads, it is difficult to obtain a
unique empirical equation involving a single coefficient and able to

Table 8
Experimental conditions and estimated degradation parameter tD in degradation experi-
ments with strain-controlled cyclic loads.

γc (%) OCR ′σ vc (kPa) fc (Hz) PI (%) Test typea tD Ref.

0.003 1 280 0.1–0.2 12 D 0.003 [101]
0.01 1 280 0.1–0.2 12 D 0.003 [101]
0.031 1 280 0.1–0.2 12 D 0.043 [101]
0.096 1 274 0.1–0.2 47 D 0.043 [101]
0.099 1 37 0.1–0.2 26 D 0.037 [101]
0.1 1 220 0.001 28 D 0.029 [100]
0.1 1 220 0.01 28 D 0.041 [100]
0.1 1 220 0.1 28 D 0.06 [100]
0.1 1 280 0.1–0.2 12 D 0.05 [101]
0.1 1 698 0.001 28 D 0.022 [100]
0.1 1 698 0.01 28 D 0.033 [100]
0.1 1 698 0.1 28 D 0.042 [100]
0.25 1 220 0.01 28 D 0.087 [100]
0.25 1 220 0.1 28 D 0.109 [100]
0.25 1 698 0.01 28 D 0.07 [100]
0.25 1 698 0.1 28 D 0.083 [100]
0.3 1 37 0.1–0.2 26 D 0.077 [101]
0.3 1 71.8 – – T 0.05 [55]
0.3 1 274 0.1–0.2 47 D 0.054 [101]
0.31 1 280 0.1–0.2 12 D 0.098 [101]
0.48 2 426 0.2 45 D 0.033 [99]
0.5 1 71.8 – – T 0.044 [55]
0.5 1 143.6 – – T 0.05 [55]
0.5 1 220 0.001 28 D 0.092 [100]
0.5 1 220 0.01 28 D 0.133 [100]
0.5 1 220 0.1 28 D 0.157 [100]
0.5 1 698 0.001 28 D 0.065 [100]
0.5 1 698 0.01 28 D 0.082 [100]
0.5 1 698 0.1 28 D 0.098 [100]
0.59 1 1392 0.2 45 D 0.047 [99]
0.64 4 353 0.2 45 D 0.038 [99]
0.74 1 71.8 – – T 0.068 [55]
0.83 1 37 0.1–0.2 26 D 0.104 [101]
0.99 4 415 0.2 45 D 0.03 [99]
0.99 2 478 0.2 45 D 0.048 [99]
1 1 71.8 – – T 0.052 [55]
1.04 1 280 0.1–0.2 12 D 0.176 [101]
1.49 1 1,162 0.2 45 D 0.079 [113]
1.5 1 71.8 – – T 0.129 [55]
1.5 1 143.6 – – T 0.137 [55]
1.74 4 355 0.2 45 D 0.043 [99]
2 1 71.8 – – T 0.184 [55]
3.48 1 274 0.1–0.2 47 D 0.292 [101]
5.09 1 475 0.2 45 D 0.159 [99]

a D denotes the direct shear test; and T denotes the triaxial shear test.
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estimate the results measured in various stress-controlled experiments.
Therefore, instead of providing information such as degradation para-
meter tD, Table 9 provides several stress-controlled experiments and
their experimental conditions. When designing OWECs, one can effec-
tively select the proper experimental data that has loading conditions
and variables similar to the soil of the site by using Table 9.

Note that the mean value (τav) of the cyclic stress is not zero in some
experiments. This nonzero mean value is necessary to predict the dy-
namic response of the foundation of OWECs. Because the thrust force
acting on the nacelle of the wind turbine is considerable and its mean
value is not zero, the stress acting on the soil will fluctuate with a
nonzero mean value.

The degradation is faster for larger τ /Sc u and τ /Sav u in all experi-
ments (Table 9). However, the effects of frequency and OCR are not
consistent over experiments. Experiments performed by Ansal et al.
[102] showed a very small effect of fc between 0.1 and 1 Hz. Moreover,
they observed that the degradation over N occurs slower for cyclic load
with fc of 0.01 than the degradation of fc of 0.1 and 1 Hz. The effects of
fc are also not noticeable in experimental results obtained by Hyde et al.
[103]. In contrast, slower loading rates cause faster degradation in
other experiments [104–106]. High OCR increases the degradation rate
in experiments performed by Andersen et al. [107]. However, Zhou
et al. [112] reported opposite effects of OCR on the degradation. Effects
of other properties (i.e., void ratio, unit weight, water contents, etc.)
need to be considered to elucidate the effect of OCR and fc on the de-
gradation.

To secure reliability of OWECs, one should consider the degradation
of the soil modulus when τc and τav stochastically change over cycles
because the characteristics of the dynamic loads acting on OWECs vary
over time. A theoretical approach to calculate the degradation induced
by time-varying cyclic loads has been proposed [108,109]. However,
the method requires the calculation of the accumulation of degradation
per every cycle. Considering typical values of the first natural frequency
of OWECs and their life span, OWECs should resist to a huge number of
cyclic loads (of the order of 108). Thus, very intensive computational
efforts are required when that method is used. To overcome this chal-
lenge, it is necessary to develop a novel method capable of predicting
the long term-degradation caused by stochastically varying loads with
fast computation.

4. Structure-soil interaction

4.1. Equivalent linear spring models

Soil-structure interaction can be considered by using equivalent soil
stiffness when the structure interacts with a homogeneous soil and
when the deformation of the soil is small so that the soil can be con-
sidered as linear material. The DNV code [88] suggests formulas for
equivalent soil stiffness as
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where R and L denote the radius and the length of the foundation. H is
the thickness of the soil layer above the bedrock. Although one can
simply obtain soil stiffness using this equation, this approach has sev-
eral limitations. First, it is only applicable to pile-type foundations.
Second, the DVN code notes that these formulas are valid when L is
shorter than R2 . This restriction cannot available to piles for OWECs in
that most piles have very long length compare to their radius. Third, the
bedrock should be located twice deeper than the length of piles to apply
this equation. Hence, this equation is not useful when the bedrock is
close to the piles. The reason for the many limitations of these formulas
is that these formulas are originated from offshore gas and oil in-
dustries. The nature of the loads exerted onto OWECs and their geo-
metry (including the overall size of their structures) are different. To
overcome limitations of the DNV code, modified formulas, which are
appropriate for OWECs, should be proposed.

Many studies have been conducted using lumped parameter models
because of the simplicity of that approach. Adhikaria et al. [116,117]
developed a wind turbine model composed of two lumped masses
corresponding to wind turbine tower and nacelle. The mass corre-
sponding to the tower was connected to a fixed boundary (i.e., soil)
with a vertical spring and a rocking spring. Then, natural frequencies
were calculated by solving the corresponding eigenvalue problem. This
study showed that the first natural frequency significantly changed over
the soil stiffness when the stiffness of soil was small, suggesting that the
degradation of the soil modulus was dangerous especially when the soil
was soft. This model was updated by Harte et al. [118]. They included
viscous damping between the soil and the wind tower and between the
wind tower and the nacelle. Sapountzakis et al. [119] connected an
equivalent stiffness spring to the wind turbine tower modeled with a
boundary element method. They showed that the structure with this
equivalent stiffness had a first natural frequency 6% smaller than the
natural frequency of the structure with a fixed boundary. Moreover, the
response of the structure to earthquakes considerably increased when
the equivalent stiffness was included between the tower and the
boundary.

Lumped parameter models such as those based on equivalent spring
models are beneficial because they can reduce the computation time
and simplify equations of motions by considering the soil-structure
interaction with a small number of linear springs. Furthermore, these
models allow calculating analytical solutions or obtaining solutions
with fast numerical formulas to predict the behavior of soil-foundation
systems. However, these models have several important limitations.
First, the value of the equivalent stiffness highly depends on the shape
of the foundation. Thus, different values need to be obtained when
using different shapes of foundation. Moreover, this method can pro-
vide a reliable result only if a site is composed of a homogeneous soil
layer. If several soil layers are present around the structure, the pre-
dictions of these models may not be useful. Moreover, these models are
incapable of considering the nonlinear behaviors such as the nonlinear
stiffness of the soil and the gap that can be generated between the soil
and the foundation. Despite these limitations, the equivalent linear
spring models are useful for feasibility studies of particular sites and for
conceptual design of OWECs for specific sites.

Table 9
Degradation experiments and experimental conditions; strain-controlled cyclic loads.

τ S/c u τ τ/av c OCR PI (%) fc (Hz) Test type Ref.

0.24–0.72 0 1 – 0.01, 0.1, 1 D [102]
0.3–0.85 0–7.15 1, 4, 40 27 0.1 T, D [107]
0.14–0.83 0 1, 4, 10 – 0.1 D [110]
0.1–0.4 1 1, 4, 10 – 0.1 T [110]
0.2–0.9 0 1, 2, 3 – 0.01, 0.05, 0.1, 0.5,

1
T [111]

0.26–0.56 1 1 28 0.05, 0.17, 0.83 T [112]
0.3–0.6 0.5–2 27 0.1 S [113]
0.12–0.37 0 1 0.1–4.9 T [114]
0.25–0.85 0 1, 1.38, 2 21 0.1 S [115]
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4.2. Distributed nonlinear spring models

To address the limitations of the equivalent linear spring model, the
soil-structure interaction can be considered by distributing nonlinear
springs on the soil-structure interface. The distributed springs can be
characterized using load-deflection curves. The American Petroleum
Institute (API) [120,121] provides several types of load-deflection
curves which nonlinearly change over the lateral displacement (y) and
the depth (z). These include p-y curves corresponding to lateral re-
sistance, t-z curves corresponding to vertical resistance, and Q-z curves
corresponding to bearing resistance, where p, t, and Q are the spring
forces (which vary upon the soil properties and the magnitude of the y
or z displacement of the structure). IEC 61400 [126], DNV and GL
[84,88] also suggest the use of curves presented in the API code for the
foundation design of OWECs [122]. These curves can be obtained by
conducting in situ testing such as deflection of piles under lateral loads
and the CPT [123,124]. If information on a candidate site is not ac-
cessible, the p-y curve for sand can also be approximated as [120]

= ⎡
⎣⎢

⎤
⎦⎥

p y z A z p kz
A z p z

y( , ) ( ) (z)tanh
( ) ( )

,u
u (13)

where k denotes the modulus of subgrade reaction which can be ob-
tained by applying a vertical load to a slab (which is on ground surface)
and measuring its vertical deflection. The relation between k and the
internal friction angle is shown in Fig. 6.8.7–1 of the API code [42]. The
value of A can be evaluated as [42]
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Also, pu is an ultimate bearing capacity, which can be determined as
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The values of coefficients C1, C2, and C3 are functions of the internal
friction angle, as shown in Fig. 6.8.6–1 of the API code [120]. D denotes
the pile diameter.

Several studies have been performed using distributed nonlinear
springs for foundation modeling to predict the dynamic behavior of
OWECs. Bisoi et al. [125] modeled a wind turbine tower and its foun-
dation with Euler-Bernoulli beam elements. Distributed springs char-
acterized by p-y, t-z, and Q-z curves were attached to the beam elements
of the foundation. Then, aerodynamic and hydrodynamic loads were
applied to the structure. The displacements of the OWEC when con-
sidering the soil-pile interaction were considerably larger compared to
the displacements obtained when a fixed boundary condition is applied
at the soil-structure interface. To study the effects of spatially varying
soil properties, stochastic p-y curves [126] were proposed and in-
tegrated into a finite difference scheme to calculate the dynamic re-
sponse of a monopile [127]. In these studies, the shear strength of the
soil was stochastically changed over the depth. Because the stiffness of
the soil depended on the shear strength, the stiffness of the soil also
varied stochastically over the depth. Then, the first natural frequency of
the structure was calculated. The results suggest that the natural fre-
quency changes by 0.01–0.02 Hz due to stochastic variations in the soil
strength. While these studies successfully showed the effects of un-
certainty of soil properties on the natural frequency and on the dis-
placement of structures, these studies could be enhanced by considering
stochastic wind loads instead of quasi-static wind loads.

This distributed spring model was improved further to capture other
soil-structure interaction phenomena such as the damping effects of soil
and the separation of the soil from the structure in the presence of large
loads. Gerolymos et al. [191] used laterally distributed translational
springs and distributed rotational springs. A translational spring and a
rotational spring were connected to the bottom of the structure. Then,

the damping effect was considered by connecting distributed dashpots
along with springs. Analytical expressions were derived for homo-
geneous and linear soils to predict the static and dynamic response.
Then, this model was extended to study inhomogeneous and nonlinear
soils [192]. This updated model can account for the effect of cyclic
loads on separation and slippage at several conditions such as radiation
damping, stiffness and strength degradation. This model was validated
through experiments in medium-scale and a finite element analysis with
a 3-D model [193]. Naggar et al. [128] differentiated the soil as soil
adjacent to the structure and soil in the rest of the space. Each element
of the pile was connected to the first layer of soil elements with springs
and dashpots, and the first layer of soil elements was attached to the
second layer of soil elements with different springs and dashpots. The
first layer of soil elements captured the nonlinear stiffness of soil-
structure interaction. The second layer of soil elements was used to
account for the wave propagation through the soil. Then, the frequency
responses were calculated for the lateral motion at the tip. Their pre-
dictions matched experimental data well, except for a small difference
in the resonant frequency.

Distributed nonlinear spring models are more accurate than
equivalent spring models because they can consider nonlinear me-
chanical properties of the soil and its spatial variability. However,
elaborate studies are required to use such models because the nonlinear
characteristics of the distributed springs vary upon the type of soils
[194]. Moreover, these models require experiments to obtain para-
meters of the distributed stiffness. For example, the p-y curve should be
obtained from in situ experiments of laterally loading piles installed in
candidate sites and by measuring their deflection over the depth [194].
The p-y curve can be obtained also from laboratory tests by using soil
samples [195]. Although distributed nonlinear spring models can suc-
cessfully consider nonlinear interactions between the monopile and the
soil, these models are difficult to apply for multipod foundations be-
cause the distributed springs should be modified to account for the
interaction among piles through soil.

4.3. Continuum element models

Continuum element models of soil enable studies on complicated
behaviors of soil-structure interaction that are difficult to consider
using equivalent linear spring models or distributed nonlinear spring
models. For example, continuum element models can predict the spatial
distribution of variables (e.g., effective stress and pore water pressure)
in two or three dimensions. Moreover, such models are useful to in-
vestigate multi-physical phenomena (e.g., interaction of mechanical
stress, pore water pressure, and temperature) and interactions between
suctions or piles when a multipod foundation is used for an OWEC.

Several constitutive models were proposed to account for the
structural behavior of soils. They can be classified into the following:
the linear elastic model, the nonlinear elastic model, the elasto-plastic
model, the visco-elastic model, and the elasto-visco-plastic model
[129]. Currently, the elasto-(perfectly) plastic model with the Mohr-
Coulomb failure criterion (EPMC) is one of the most widely used
models. This model assumes the yield surface is invariant over the
plastic deformation. A nonlinear (hardening) elastic soil model [130]
was developed from the hyperbolic elastic model. For unloading and
reloading, different stress-strain relations are used. In this model, the
yield surface can be expanded by plastic deformation. This model
adopted distinct hardening rules to shear plastic strain and volumetric
plastic strain. Lade [131] introduced various constitutive models along
with their characteristic features on yield surface and on the parameter
used to consider hardening.

Achmus et al. [132] predicted the behavior of piles under combined
horizontal and vertical loading using EPMC. Based on numerous
loading-displacement curves estimated from different loading condi-
tions, they presented diagrams showing the relation of displacement of
the pile and combined loads over different length and diameter of the
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pile. These diagrams are useful to estimate equivalent stiffness of the
piles if the effects of moments are included. Moreover, Abdel-Rahman
et al. [133] compared the results obtained using EPMC for monopod
foundations to the results obtained from p-y curves. This comparison
suggested that p-y curves could underestimate the displacement of the
piles. The effects of spatially nonhomogeneous soil on the behavior of
the piles were also investigated. Haldar et al. [134] used soil with shear
strength randomly varying over space with normal distribution. Then,
the response of a pile to lateral loads was predicted. It was shown that
the load capacity of a pile was enhanced when the strength distributes
over the space more fairly.

Continuum element models can also be used to study the behavior
of foundations under cyclic lateral loads induced by wind or waves. By
using EPMC, Achmus et al. [135] calculated the accumulated plastic
strain when lateral loads were exerted on the pile. Then, they predicted
the degradation of the soil stiffness using an empirical equation corre-
lating the decrease of the shear modulus to the plastic strain. Based on
the results of parametric studies, relations of horizontal loads and dis-
placements were proposed for both static and cyclic loading. Bourgeois
et al. [136] simplified the earlier elasto-plastic models by assuming the
effects of volumetric plastic strain were small. This assumption reduced
the number of parameters, and hence models could be characterized
with a relatively small number of tests (i.e., three monotonic tests and
one cyclic triaxial test). Their experimental validation showed that the
simplified models could predict the response of piles to monotonic
loads. In addition, the model predictions for strain accumulation over
the cycles of cyclic loads agreed reasonably well with experimental
results. A hybrid foundation proposed in [137] consisted of an inside
steel monopile and an outside lightweight steel footing. The footing
needed to be filled with rubble after installation. In their study, the soil
was modeled with the elastoplastic model with the Von Mises failure
criterion. The associative flow rule was used to predict plastic de-
formation. It was predicted that the hybrid foundation provided higher
stiffness than monopile foundations. The degradation of soil stiffness
was also smaller for the hybrid foundation. The prediction of this study
can be enhanced by capturing plasticity by using a Mohr-Coulomb, a
modified Cam-Clay, or a soil hardening model because the Von Mises
failure criterion does not consider the effects of the mean effective
stress of soil on the shape of the yield surface.

To study the interaction between soil particles and water present
among soil particles, multi-physical models based on the continuum
elements have were developed. Cuéllar et al. [138] considered the be-
havior of structure to extreme loads (i.e., storms) by considering soil
with a generalized plastic theory. Darcy's equation was coupled with
the constitutive model of soil to predict the changes in the excessive
pore water pressure over time. When the pile was vibrated by strong
cyclic loads (caused by storms), the excessive pore water pressure near
the pile and the lateral displacement of the structure were calculated.
They also computed the response of the structure when the effect of
excessive pore water pressure on soil was not considered. When this
hydromechanical coupling effect was not included, the displacement
was smaller than the displacement obtained from the coupled model by
about 10–20%. This result suggested that the increase of pore water
pressure decreased the effective stress, and thereby the resistance of the
structure to loads was reduced. Dijkstra et al. [139] used a hypoplas-
ticity soil model [140], which can account for the interaction of void
ratio of soil and the stress distribution. The pore water pressure was
also considered by using Darcy's law. Their results showed that changes
in the stress and porosity were dominant within the region with a
diameter of 3 times the pile diameter.

Continuum models predict nonlinear behaviors of soil and soil-
structure interaction more accurately than equivalent or distributed
spring models. Moreover, parameters of continuum models are less
dependent on the design of the structure, while parameters of equiva-
lent or distributed spring models vary with the shape and dimension of
structures. Continuum models also can predict multi-physical

behaviors, which are difficult to capture with equivalent or distributed
spring models. For example, the interaction of pore water pressure and
stress needs to be considered to predict the degradation of soil modulus.
This interaction can be included in continuum models by using con-
stitutive law of pore-elastic material [141–143]. However, predicting
long-term degradation using continuum models is still challenge be-
cause these models require intensive computational efforts.

4.4. Experiments

4.4.1. Monotonic (and static) loading
Static responses of structure-soil interaction to single loads (e.g.,

lateral and vertical loads) were investigated for various soils types
[144–150]. Based on these experimental results, several models were
suggested to generate p-y curves [151]. More recently, the response of
soil was investigated when several loads (e.g., vertical, lateral, and
moment loads) acted on the structure at the same time. Experiments
were conducted for structures installed in clay [152–154], dense sand
[155–158], and loose carbonate sand [159,160]. These experiments
provided useful empirical equations for yield curves of structure-soil
system as functions of two combined loads. To extend these two-di-
mensional studies into three-dimensional models, the responses of
footing structures to vertical, (two) lateral, torsional, and (two) rotating
loads were measured. Then, a three dimensional yield surface
[161,162] was suggested as
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where =h H V/2 2 0, =h H V/3 3 0, =m M R V( /2 )/2 2 0, =m M R V( /2 )/3 3 0,
=q Q R V( /2 )/ 0, and =v V V/ 0. h0 denotes the normalized horizontal load

capacity, m0 denotes the normalized moment capacity, q0 denotes the
normalized torsional load capacity, a is the eccentricity of the ellipse in
the −h m plane, β1 and β2 are shaping parameters for the yield surface
in the vertical load plane.V0 denotes the intersection of the yield surface
with the axis of the vertical load. A key contribution of this study is to
determine allowable combinations of loads for the elastic response of
the foundations. Load combinations within the surface result in elastic
motion of the footing. If a load combination produces a value of f in Eq.
(16) which is the same or larger than zero, then that load condition
causes plastic deformation in the soil. Because this model focused on
the failure due to static loads, extended studies to obtain response to
cyclic and dynamic loads are necessary for OWECs.

4.4.2. Dynamic and cyclic loading
When cyclic lateral loads are exerted to structures, their deflections

change over cycles. Effects of cyclic loads on the stiffness of soil are
different for clay and sand because they have different permeability.
The equivalent stiffness of the structure-soil systems can be calculated
with the ratio of magnitudes of cyclic loads and corresponding dis-
placement. It is worthy to note that the stiffness can be differently
defined depending on whether the accumulated plastic deformations
are included in the displacement. The stiffness obtained by using the
total displacement (i.e., displacement including accumulated plastic
deformations) is herein referred to as the plastic stiffness. When the
accumulated plastic deformation is not considered, the ratio of cyclic
loads over displacement is referred to as the cyclic stiffness.

For piles in clay, the cyclic stiffness degrades over the lateral cyclic
loads. Due to the low permeability of clay, pore water pressures in-
crease due to cyclic loads. This excessive pore water pressure can cause
softening of clay [100,101]. Todd et al. [163] and Tuladhar et al. [164]
observed the degradation of the cyclic stress in field tests. In their ex-
periments, the accumulated plastic deformation was very small.
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Experiments conducted by Lombardi et al. [165] showed the effects of
cyclic loads on the natural frequency of OWECs. They measured the
equivalent stiffness and the first natural frequency of 1/100 scale off-
shore wind turbines supported by a monopile in clay. The results
showed that the natural frequency decreased over cyclic loads due to
the degradation of the clay stiffness.

The cyclic stiffness of sand increases over the lateral cyclic loads
acting on a pile. Because sand has high permeability, cyclic loads are
transferred to the soil grains. Thus, loads can change the microstructure
of sand. As mentioned in Section 3, the shear modulus of soil increases
over the effective normal stress. Therefore, the cyclic stiffness of sand
increases over cycles. However, the plastic stiffness decreases over cy-
cles because the accumulated plastic deformation increases over cycles.
Peng [166] obtained load-displacement curves by conducting labora-
tory cyclic load tests on small-scale piles. The cyclic stiffness increased
over cycles, whereas the plastic stiffness decreased over cycles. Similar
behaviors were observed in other studies also [123,167–169]. Various
experimental results on accumulation of plastic deformation due to
cyclic loads were in the study of Lin et al. [170]. Using existing results,
they constructed an empirical equation to account for the effect of sand
density and the pile installation method on the accumulation of plastic
deformation. Both one-way and two-way cyclic loads were considered
in the equation. Bhattacharya et al. [171] measured the equivalent
stiffness and the first natural frequency of 1/100 scale offshore wind
turbines supported by a monopile. Their results showed that cyclic
loads increased the equivalent stiffness and natural frequency for dry
and saturated sand. Several experiments demonstrated the mechanism
of liquefaction under cyclic undrained loading conditions in loose to
medium dense saturated sandy soil [172,173]. Liquefaction is critical to
offshore structures as it decreases the soil stiffness near the structures.

4.5. Suction caissons

Details for theoretical and experimental efforts for suction caissons
are separately discussed in this subsection because this type of foun-
dation is the most cost-effective and promising solution for shallow
waters and transitional depths waters. Suction caisson foundations were
originally developed for oil and gas industry [174]. The technology for
this foundation was introduced to floating platforms first, and applied
to fixed platforms. The Draupner E is the first gas platform installed
with a jacket suction substructure in the depths of 70m [175–177],
after performing large-scale penetration tests [178].

Many studies have been conducted to secure the reliability of OWEC
foundations with suction caissons [179–183]. The first comprehensive
investigation on the applicability of suction caisson for OWECs was
presented by Byrne [184–186]. Then, several other studies have been
reported, including laboratory model tests, and field trials using re-
duced-scale and full-scale structures [23].

4.5.1. Modeling for installation
A major difference of suction caissons from piles is the installation

process (i.e., the additional forces induced from the suction pressure).
The pressure difference causes flow of water within the soil and the
(excessive) pore pressure gradients. This pressure difference is bene-
ficial to the installation process because it can decrease the strength of
soil around the caissons.

The installation of suction caissons has two phases: self-weight pe-
netration and penetration induced by suction pressure. The self-weight
penetration can be estimated by calculating the friction between the
inside/outside of the caisson and the end bearing on the tip of the
caisson. Then, negative suction pressure is applied to the caisson. The
force balance in this second phase can be expressed for sand as [187]
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where ′V , s, δ, D, Di, Do, t , Nq, Nν, ′ν , K denote as follows: the vertical
load caused by weight, the suction pressure within the caisson with
respect to the ambient seabed water pressure Po, the mobilized angle of
friction between the suction skirt and soil, the mean diameter of the
caisson, the inner diameter of the caisson, the outer diameter of the
caisson, the thickness of the caisson, the overburden bearing capacity
factor, the self-weight bearing capacity factor, the submerged unit
weight of soil, and lateral earth pressure, respectively. Fig. 9 shows an
outline of the suction caisson features. In Eq. (17), the first, the second,
and the third terms on the right-hand side are the friction force acting
on the outer surface, the friction force acting on the inner surface, the
load bearing annulus, respectively. Friction forces are proportional to
the normal forces acting on the suction skirt surface. The normal force
corresponds to the horizontal effective stress on soil grains, which can
be calculated as the product of K and the vertical effective stress ad-
jacent to the caisson. Then, friction forces can be obtained by multi-
plying the mobilized friction angle δ to the normal force. The end
bearing is obtained by the summing of the overburden bearing term and
the self-weight bearing term (which is proportional to the area of the
annulus).

To calculate the effective vertical stress inside and outside of the
skirt, the excessive pressure gradient within the caisson and the tip of
the caisson should be taken into account. An average upward pressure
gradient (inside of the caisson) and downward pressure gradient (out-
side of the caisson) are −s P h( )/tip and P h/tip assuming that the dis-
tribution of pore water pressure on inside and outside of the caisson is
linear over depth. Substituting Ptip to as results in −s as h( )/ for upward
pressure gradient and as h/ for downward pressure gradient, where a
denotes the pressure factor. Note that the ambient seabed water

Fig. 9. (a) Outline of suction caisson: h and hc denote the current embedment of the
caisson and the height of the caisson. Vertical equilibrium of an infinitesimal horizontal
slice of soil under stress (b) inside and (c) outside of the caisson.
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pressure should be larger than the pressure at the skirt, and the pressure
at the skirt should be larger than the pressure inside of the caisson to
create flow of water, i.e. > − > −P P P P so o tip o . Considering these flows
as well as the force induced to an infinitesimal horizontal slice of soil as
shown in Fig. 9(b) and (c), the vertical stress equilibrium equations of
the suction caisson become
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Equation (19) can be solved with boundary conditions given by ′σv
=0 at z=0, namely

⎜ ⎟

⎜ ⎟

⎜ ⎟

⎜ ⎟

′ = ⎛
⎝

′ − − ⎞
⎠

⎛
⎝

⎛
⎝

⎞
⎠

− ⎞
⎠

′ = ⎛
⎝

′ + ⎞
⎠

⎛
⎝

⎛
⎝

⎞
⎠

− ⎞
⎠

ν s a
h

h
Z

ν as
h

h
Z

σ (1 ) exp 1 , for inside

σ exp 1 , for outside

vi
i

vo
o (20)

Integrating the vertical effect stress over depth leads to
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Substituting Eq. (21) into Eq. (17) leads to
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The pressure factor a depends on the ratio of permeability for the
soil inside and outside because sand within the caisson might become
loose and thus exhibit higher permeability. Therefore, Houlsby et al.
[187] suggested an empirical equation based on finite element analyses
to accurately predict the pressure factor a. Moreover, they compared
model predictions with several experiments.

The resistance to penetration in clay can be calculated in a similar
way as [188]
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where αo, αi, su1, su2, and Nc denote the adhesion factor for outside, the
adhesion factor for inside, the average shear strength over the depth of
the skirt, the shear strength at the tip of the caisson skirt, and the co-
hesion bearing capacity factor respectively. The shear strength is as-
sumed to increase linearly with the depth, i.e. the shear strength

= +s s b zu uo s , where suo and bs denote shear strength at mudline and
a coefficient to consider linearly increasing shear strength over the

depth. Therefore, the average shear strength between the mudline for a
depth h is = +s s b h/2u uo s1 , and the shear strength at the tip of the
caisson skirt is = +s s b hu uo s2 . The major difference in the model of
suction penetration in the clay from the model regarding sand is that
shear strength is unaffected by the effective vertical stress, whereas
shear strength depends on vertical stress in sand. Houlsby and et al.
[188] showed that these models were reliable by comparing model
predictions with experiments.

Senders et al. [189] proposed a method to calculate the friction on
the caisson skirt using the cone resistance profile obtained from the
CPT. They assumed that the resistance on the tip and friction on the
skirt linearly decreased over the suction pressure. This method was
validated using data obtained from the centrifuge model test and data
regarding suction caisson installations. They also investigated the suc-
tion installation in sand overlaid by clay [190]. They suggested ap-
plying two different models depending on the permeability of clay,
suction pressure, and the pumping rate of the suction. When the per-
meability of clay was small, the suction pressure was considerable, and
the pumping rate was fast; effects of clay plug were considered in their
model.

4.5.2. Modeling for operation
Studies on the resistance of suction caissons under operation also

have been carried out for various environmental conditions. The di-
rection of loads acting on the suction caissons depends on the type of
substructures. For monopod foundations, horizontal loads (H) and
bending moments (M) are exerted to single suction caissons. For mul-
tipod and jacket foundations, vertical loads (V) also need to be con-
sidered.

The response of suction caissons to H and M loads is considered
when they are connected to monopod foundations. Doherty et al. [196]
investigated coefficients of six equivalent stiffness values (i.e., stiffness
corresponding to one vertical, one torsional, two horizontal, and two
moment loads) of a caisson embedded in elastic soil. They also con-
sidered the increase of the soil stiffness over the depth. Then, the
coefficients were estimated by using results obtained from the con-
tinuum elements model of suction caissons. To apply the coefficients of
stiffness for several conditions, the values of coefficients were calcu-
lated for various soil properties and caisson dimensions. Parametric
studies conducted by Achmus et al. [197] showed the effects of suction
caisson geometry, loading conditions, and soil properties on the motion
of suction caissons. This study considered the behavior of soil using
EPMC. When large horizontal loads were exerted to a structure, a
caisson lid and soil were separated in their simulations. This phenom-
enon can degrade the bearing capacity of a suction caisson supporting
an OWEC because the soil around the skirt of a caisson should resist to
the whole load. Their study suggested that the ultimate capacity and the
stiffness of the soil-suction systems strongly depended on the dimension
of the caissons and the height where loads were exerted. Moreover,
other methods were suggested with an upper bound plasticity for-
mulation for estimating the lateral load capacity of suction caissons
[198,199]. Experimental work [199] using a centrifuge showed that the
proposed method was capable of estimating the load capacity.

The response of caissons to vertical tensile loads has been in-
vestigated to prevent caissons from pulling out. A phenomenological
model was developed by Deng et al. [200] for the pull-out behavior of
suction caissons. The model considered several failure modes (i.e.,
failures under undrained, partially drained, or fully drained condition),
and the model was validated using experimental data and results ob-
tained from finite element models. The proposed methods took into
account the influence of the aspect ratio of the caisson, the internal
friction angle of soil, the permeability of soil, and the loading rate.
Moreover, parametric studies for the pull-out were also carried out with
several variables [201]. The results suggested that the pull-out capacity
increased linearly over soil cohesion values, and increased ex-
ponentially over the internal friction angle of the soil. However, the
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effects of the Poisson's ratio and the dilatancy angles on the pullout
strength were small. Achmus et al. [202,203] developed a multi-phy-
sical model considering pore water pressure and stress distribution in
soil to capture tensile resistance of caissons in partially drained con-
dition. They suggested that the geometry of caissons, soil character-
istics, and loading conditions affected the tensile resistance of caissons.
Interestingly, the tensile capacity had a strong correlation with the pull-
out rate. The mechanism of accumulated heave was also elucidated
over cycle loads.

Studies on the behavior of caissons to combined loads (i.e., V, H,
and M) are necessary for multipod or jacket foundations. Doherty et al.,
[204] calculated the frequency dependent impedances of suction cais-
sons along vertical, horizontal, and rotational directions by using linear
viscoelastic soil models. Then, they predicted that the stiffness of the
soil-suction systems increased over the skirt length, and the stiffness
increases over frequency. Kim et al. [205] studied bearing capacities of
suction caissons attached to tripod foundations. A linear elastic per-
fectly plastic model with Tresca failure criterion was used to consider
the behavior of clay. The vertical, horizontal, and moment bearing
capacities of the tripod and the monopod configurations were com-
pared. When a tripod foundation was used, the vertical and moment
bearing capacities could be improved between 2 and 10 times, re-
spectively, compared to caissons connected to monopods. Wu et al.
[206] predicted the effects of cyclic loads on the bearing capacity by
using linear elastic perfectly plastic soil models with Mises yield cri-
terion. In their model, experimentally observed shear strength values
[207] were used because experiments captured variations of shear
strength over cyclic loads. The vertical, horizontal and moment bearing
capacities decreased by 30–40% after 2000 cycles.

4.5.3. Experiments on installation
Several experimental studies on the installation of suction caissons

have been carried out for sand and clay. Villalobos [208] experimen-
tally showed astonishing penetration capability of suction caissons. He
conducted installation tests in sand using small scale suction caissons
with a diameter of 293mm. In the absence of suction pressure, a ver-
tical pressure of 25 kPa was required for 140mm penetration. In the
presence of suction pressure of 5 kPa, a vertical pressure of 1 kPa was
enough to accomplish the same depth of penetration. Houlsby et al.
[209] performed installation field tests with suction caissons with
diameters of 1.5 and 3m. For both caissons, a suction pressure of about
30 kPa was required to penetrate about 1m.

More attention is needed in the presence of a clay or a silt layer
because their low permeability decrease or block water flow among soil
particles. This phenomenon was observed by Tran et al. [212,213] in
suction installation tests at sites including silt layers. They observed
peaks in the excessive pore water pressure versus penetration depth
curve. If water flow in soil was impeded, upward gradients of excessive
pore water pressure decreased. Then, the penetration ability of suction
caissons degraded. Their numerical calculations also predicted that
unstable inner-soil plug moved upward (up to 20% of the caisson pe-
netration).

The high suction pressure induced by silt layers can create piping
channels and soil overflow into the caisson. To prevent this dangerous
event, a filtration method was developed by Wang et al. [214]. Their
experimental results showed that the proposed filtration technique
could reduce the volume of soil heave and prevent soil failure during
installation in silts.

These experimental data can provide insight into suction penetra-
tion and useful information for design parameters. Specifically, non-
dimensional metrics of suction performance give the designer insight
into the relationship among design variables, soil properties, and pe-
netration performances. The experimental penetration induced by
suction pressure are summarized in Fig. 10; the penetration depth
caused by the suction pressure and the weight of the suction caisson can
be calculated from Eqs. (17) and (23). This figure is constructed with

data from Refs. [187,190,210]. Each symbol represents different ex-
perimental results with different design variables at different sites
(Table 10). The penetration performance of the suction caissons can be
characterized by the slope of the lines by normalizing the penetration
depth with respect to the diameter of the suction caisson and the suc-
tion pressure with the diameter of the suction caisson and submerged
unit weight of soil. The penetration depth depends on the dimension of
the suction caisson and the stiffness of the soil, suggesting that the slope
has a strong dependence on soil properties and design variables
(Table 10). Therefore, this normalization method can become an im-
portant metric to estimate the penetration performance in initial design
steps because a large slope at the same soil conditions means an ap-
propriate design.

4.5.4. Experiments on performance
The effects of the plasticity of soil on the behavior of suction cais-

sons were observed in several studies. Villalobos et al. [215] measured
the responses of small-scale caissons to monotonic loading in loose dry
sand. Combined loads (i.e., V, H, and M) were exerted to their suction
caissons and the corresponding displacements of the caissons were
measured. Then, they calculated values of yield loads using obtained
load-displacement curves. By connecting the yield loads, yield surfaces
were established in the three-dimensional load space. They also built
yield curves for caissons in saturated sand [216].

The behaviors of suction caissons under cyclic loads are of great
interest. Byrne et al. [217] observed from laboratory tests that the
stiffness did not change noticeably over the number of cycles. However,
considerable degradation in the stiffness due to cyclic loads was ob-
served in their field tests [209,218,219]. Cyclic moment loads and
cyclic vertical loads were applied to suction caissons. For both these
cyclic loads, high initial stiffness followed by hysteretic behavior was
measured at moderate loads. Then, degradation of stiffness was ob-
served when high loads were exerted on the caisson.

Fig. 10. Experimental results on penetration depth over suction pressure. h denotes the
penetration depth of suction caissons, hw is the penetration depth caused by the weight of
the suction caissons, D is the diameter of the suction caissons, ps is the suction pressure,
and γ' is the submerged unit weight of soil. Parameter values corresponding to each
symbol are provided in Table 10.

Table 10
Parameter values corresponding to the data shown in Fig. 10.

Symbol D (m) t (mm) γ' (kN/m3) slope Ref.

2 8 8.5 0.461 [187]
4 20 8.5 0.671 [187]
12 45 8.5 0.283 [187]

● 15 45 8.5 0.279 [187]
□ 5.5 20 5.23 0.752 [190]

0.049 0.4 11 0.606 [210]
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Cyclic loads can affect the static and dynamic characteristics of
suction caissons. First, the position of suction caissons can be changed
by cyclic loads. Wang et al. [220] observed that the suction caissons
moved downward when the lateral cyclic load was larger than a critical
value. This motion was larger if the cyclic load acted immediately after
installation. Zhang et al. [221] applied asymmetric lateral cyclic loads
to a suction caisson. They also observed a vertical and a horizontal
motion of a suction caisson. They also observed that the motion was
correlated over time to the excessive pore water pressure. Second, lat-
eral cyclic loads can change the natural frequencies of OWECs. Bhat-
tacharya et al. [222,223] developed a small scale offshore wind turbine
with a monopod foundation with a single suction caisson. They in-
stalled the system in several different soils and applied large numbers of
cyclic horizontal loads to the system by using a linear actuator. In the
middle of the cyclic load testing, the natural frequency of bending mode
was measured without a cyclic load. Then, cyclic loads were exerted to
the wind turbine again. They repeated this procedure several times to
measure the evolution of the natural frequency over cycles.

Other interesting experiments were also performed to study effects
of caisson shape and loading rate on the behavior of suction caissons.
The relationship between the pull-out loading rate and the tensile re-
sistance was demonstrated with small scale model tests [224,225] and
large scale suction caissons [226]. For the large-scale suction caissons,
the tensile resistance increased over the rate of loading when the rate
was between 0.83 and 3.33 N/s. However, the resistance remained al-
most the same if the loading rate was faster than 33.33 N/s. Kakasoltani
et al. [224] studied the effects of the tilted angle of the skirt on its
tensile resistances. They used upright suction caissons (i.e., tilted angle
of skirt = °0 ) and caissons with tilted angle of about °6 . They observed
that the tensile resistance of the caissons with °6 titled angle was larger
than that of upright caissons by 30–50%. Experiments also character-
ized the dependence of the pull-out resistance on the pull-out rate and
the relative density of sand.

5. Future challenge and discussion

It is obvious that offshore wind energy has great potential. However,
important progress and new approaches are required for successful
development of offshore wind farms.

• General geotechnical standards, suggested by most guidelines for
foundations of OWECs (API, DNV GL, IEC 61400), and semi-em-
pirical models used in offshore wind were originally developed from
offshore oil and gas industry. However, the nature of the loads ex-
erted onto OWECs and the geometry (including the overall size of
their structures) are different from load conditions of offshore oil
and gas industry. Therefore, new experimental and theoretical stu-
dies specialized for OWECs are needed to modify current standards
and semi-empirical models, which were developed based on con-
ventional offshore structures. This attempt enables us to accurately
predict static and dynamic responses of an OWEC coupled with a
foundation and soil.

• In the authors’ view, tripod and jacket structures with suction
caissons are the most promising solution in the near future, whereas
floating structures are competitive in the long run. Many countries
such as the United States, China, Japan, and Korea have feasible
wind resource potentials at sites where the water is deeper than
30m. Tripod and jacket structures with suction caissons are effec-
tive solutions for these sites. For deeper seas, floating structures can
be used effectively. Therefore, floating type foundations enable the
use of the enormous ocean wind energy because oceans cover 71%
of the Earth's surface and the wind speed in oceans is almost twice as
large as that on land [227]. Hence, future research on OWECs
should focus on developing new models for these types of founda-
tions. Various demonstration projects with these foundations over
the world currently support the need to develop elaborate models

for those types of foundations.

• There is a lack of knowledge regarding the behavior of foundations
and the degradation of soils under long-term cyclic loading.
Especially, the study on the pullout mechanism of suction founda-
tions under cyclic loading is still not sufficient to estimate structural
stability and reliability accurately during service periods. Hence, the
development of accurate degradation models and strain-accumula-
tion models can provide valuable information to enhance the re-
liability and safety of OWECs.

• Operation and maintenance (O&M) is one of the critical issues in
offshore wind energy considering the severe oceanic environmental
conditions. From this perspective, corrosion and structural integrity
of foundations are important to determine the lifespan of OWECs.
Studies on novel fabrication and coating methods are required to
enhance corrosion resistance and durability of materials for towers
and foundations (as suggested by Arshad et al. [228]). Moreover,
structural health monitoring systems are necessary to secure safety
requirements and guarantee long term serviceability. Ultimately,
online condition and structural health monitoring systems with
powerful diagnosis and prognosis algorithms should be integrated
with supervisory control and data acquisition (SCADA) systems.
Based on these systems, cost-effective and condition-based main-
tenance decision strategies should be applied to O&M to minimize
the downtime and thereby increase the commercial viability of
offshore wind farms.

• Optimal methodologies for the construction of entire structures
must be developed to minimize the cost and duration of tasks at
offshore sites. A feasibility study on offshore wind farm including
economic dynamics of the construction can also enhance the accu-
racy and decrease the uncertainty. Pantaleo et al. [229] quantified
costs of foundations and offshore wind farms for the first time with
several key factors such as the distance from shore, the water depth,
the wind speed, the available area for wind farms, the cost for
construction and O&M, and the electricity price. A variety of feasi-
bility studies for offshore wind farms followed for different regions
[5,6,230–233]. These analyses can be extended to comparisons of
different foundation types with respect to costs and dynamic char-
acteristics, and with respect to the economic dynamics of con-
struction.

• The environmental impact of OWECs and foundations requires fur-
ther investigations because issues such as noise and vibration caused
during the installation of the foundation can be critical for fisheries.
Hence, a deeper understanding of the dynamic response of foun-
dations and innovative and ecologically friendly types of founda-
tions will make offshore wind farms a more viable solution to the
global energy challenge. These studies include noise and visual
impacts [234,235], the effect of OWECs on marine animals and
birds, and the effects of large scale OWECs on local climate [236].
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